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Abstract

A set of closure relations, in the context of a one-dimensional three-fluid model, is presented for the prediction of

dryout and post-dryout heat transfer at high pressure (P=Pcr > 0:3) conditions. It is shown that the traditional models
based on low pressure data for interfacial friction, droplet size and the transition criteria for onset of annular flow

cannot be readily extended to high pressure situations. The proposed new relations are validated by comparing with

literature data in the pressure range of 30–200 bar, mass flux range of 500–3000 kgm�2 s�1 and tube inner diameters in

the range of 10–25 mm. Good agreement is obtained for the dry out quality and the tube wall temperature in the post-

dry out region except for cases of low mass flux at high pressures. The predictions show that at high pressure, high mass

flux conditions, annular flow may prevail for low gas phase volume fraction, the droplet and the liquid film volume

fractions being an order of magnitude higher than those encountered in typical air–water experiments.

� 2004 Elsevier Ltd. All rights reserved.
1. Introduction

Dryout is an important limiting phenomenon in the

design of heat exchangers and is associated with the

disappearance of the liquid film on the wall in a heat

exchanger tube. A consequence of this non-wetting of

the heated surface is the deterioration of the convective

heat transfer mechanism resulting in a large rise in the

wall temperature in a heat flux imposed system such as a

nuclear reactor. Since dryout is a hydrodynamic phe-

nomenon involving entrainment and redeposition of

droplets as well as boiling/evaporation of the liquid, the

location of dryout is dynamic and its fluctuation may

also give rise to thermal fatigue, corrosion and other

problems. A large number of experimental and theo-

retical studies have been conducted over the past several

decades to understand and quantify the processes lead-

ing to dryout in a heat exchanger tube. While empirical
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correlations for dryout were developed in the early

stages, detailed measurements of entrainment and

deposition enabled the development of ‘‘phenomeno-

logical’’ models for the underlying processes [1,2] and

eventually to prediction of dryout based on mass bal-

ance equations [3]. Later studies extended this to include

thermal non-equilibrium conditions and to a wider

range of flow conditions including transient flow situa-

tions [4]. While some issues remained unresolved (such

as the onset of annular flow and the entrainment frac-

tion at the start of annular flow), this approach gave

good predictions of dryout for a range of flow situations

for tubes, annuli and rod bundles for pressures up to 70

bar for a steam–water system.

A more recent trend in the prediction methodology is

the incorporation of these phenomenological models in

a three-fluid model framework in which the full set of

conservation equations (mass, momentum and energy

conservation equations) are solved for three phases,

namely, the liquid film, the liquid droplets and the va-

pour. These are incorporated in computer codes such as

FIDAS [5], MONA [6], COBRA-TF [7], NEPTUNE [8].

In these codes, one-dimensional phase-averaged,

time-dependent equations are solved which enable the
ed.
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Nomenclature

A flow cross section area (m2)

Cd drag coefficient of droplets in gas

Cl friction coefficient of continuous liquid on

pipe wall

Cv friction coefficient of gas on pipe wall

Dh pipe hydraulic diameter (m)

fi interfacial friction factor

g acceleration due to gravity (m s�2)

H specific enthalpy (J kg�1)

kd deposition velocity due to diffusion (m s�1)

kq inhibition deposition velocity (m s�1)

ks equivalent sand grain roughness height (m)

k1ðaÞ multiplicative function for vanishing phase

behaviour

Kuv Kutadelatze dimensionless number:

Kuv ¼ avVv
�

q2v
½grðq1�qvÞ�

�1
4

_mlfc critical liquid film mass velocity (kgm�2 s�1)

Nu Nusselt number

P static pressure (Pa)

pilcv pressure at the interface between continuous

liquid and gas (Pa)

pildv pressure at the interface between dispersed

liquid and gas (Pa)

Pr Prandtl number¼ lCp=k
q heat flux (Wm�2)

qlci heat flux between continuous liquid and its

interface with gas (Wm�3)

qldi heat transfer per unit volume between dis-

persed liquid and its interface with gas

(Wm�3)

qvic heat transfer per unit volume between gas

and its interface with continuous liquid

(Wm�3)

qvid heat transfer per unit volume between gas

and its interface with dispersed liquid

(Wm�3)

qwlc heat flux between wall and continuous liquid

(Wm�2)

qwld heat flux between wall and dispersed liquid

(Wm�2)

qwv heat flux between wall and gas (Wm�2)

qwic heat flux between wall and the interface gas/

continuous liquid (Wm�2) due to direct

boiling

qwid heat flux between wall and the interface gas/

dispersed liquid (Wm�2) due to direct boil-

ing

R stratification ratio

Re Reynolds number

t time (s)

T temperature (C)

V phase-averaged velocity (m s�1)

Wicv interface velocity between continuous liquid

and gas (m s�1)

Widv interface velocity between dispersed liquid

and gas (m s�1)

X steam quality

z axial coordinate (m)

Greek symbols

a volume fraction of phase

akmin residual volume fraction of phase k
b added mass coefficient

C mass transfer rate between two phases

(kgm�3 s�1)

Ce droplet entrainment rate (kgm�3 s�1)

Cd droplet deposition rate (kgm�3 s�1)

d droplet diameter (m)

k thermal conductivity (Wm�1 K�1)

l dynamic viscosity (kgm�1 s�1)

m kinematic viscosity (m2 s�1)

q density (kgm�3)

r surface tension (Nm�1)

s shear stress (Pa)

sicv interfacial shear force per unit volume

between continuous liquid and gas (Nm�3)

sidv interfacial shear force per unit volume

between dispersed liquid and gas (Nm�3)

vf wetted perimeter (m)

vc heated perimeter (m)

Subscripts

b related to boiling

cond related to conduction

conv related to convection

cr relating to critical point

evap related to evaporation

d related to deposition of droplets

e related to entrainment of droplets

i related to interface

k related to phase k

lc related to continuous liquid

ld related to dispersed liquid

v related to vapour or gas

w related to wall
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simulation of important thermal hydraulic phenomena

such as transient rewetting. The development of the

physical models, such as those for the rate of hydro-
dynamic entrainment, entrainment due to nucleate

boiling, rate of deposition, drop size, flow regime tran-

sitions, is still in a stage of evolution [6,9–14]. In most
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cases, the code development is followed by validation of

the overall set of models against experimental data.

Sugawara [5,9] used the data of UKAEA [15,16], RISO

[17] and other sources to provide extensive validation of

dryout prediction up to 70 bar for a steam–water sys-

tem. Hoyer [6], who used a different set of physical laws,

used the data of Becker et al. [18,19] to validate his

model up to 70 bar with uniform and non-uniform axial

heat flux distribution. A limited number of calculations

of data at 100 bar for a mass flux of 1000 kgm�2 s�1

were also reported by him. He also compared the wall

temperature variation in the post-dryout region for a

selected number of cases and reported good agreement.

In addition to these studies, multi-dimensional calcula-

tions of annular flow, in which the governing equations

in two- or three-dimensions are solved [20,21] have also

been reported but have undergone limited validation.

Thus, while a lot of progress has been made in the

prediction of dryout and post-dryout behaviour, the

studies have been limited to about 70 bar for a steam–
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Fig. 1. Effect of mass flux on the axial variation of the inside

wall temperature in the post-dryout: steam–water data of

Bennett et al. [31] at 70 bar for mass fluxes of 380 (square), 1020

(asterisk) and 3800 (triangle) kgm�2 s�1. The corresponding

case (run) numbers are indicated in the legend.
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Fig. 2. Effect of heat flux on the axial variation of the inside wall temp

608 (triangle), 750 (asterisk) and 848 (diamond) kWm�2 and for (b) a h

1462 (asterisk) and 1704 (diamond) kWm�2. The corresponding case
water system. The prediction of post-dryout behaviour

has not been systematically addressed. For example, the

mass flux has a significant effect on the evolution of the

wall temperature in post-dryout heat transfer. This is

illustrated in Fig. 1 where the inside wall temperatures

measured by Bennett et al. [15] are plotted for three

different flow rates. The system pressure and the inlet

subcooling are nearly the same while the heat flux varies

such that dryout occurs at nearly the same location. It

can be seen that the temperature rise immediately after

dryout is nearly the same in all the three cases; however,

the subsequent variation is a strong function of the mass

flux. At low mass fluxes, the wall temperature continues

to rise while at high mass fluxes, it decreases monotoni-

cally. The post-dryout wall temperature variation is also

strongly influenced by the heat flux and the effect is

dependent on the mass flux. This is illustrated in Fig. 2

where typical wall temperature variations, taken again

from Bennett et al. [15], are shown for a low mass flux

case and a high mass flux case. In both cases, increasing

heat flux advances the location of dryout and the tem-

perature jump following dryout is also increased. While

temperature continues to increase in the first case, in the

second case, the wall temperature continues to decrease.

The effect of system pressure on the post-dryout heat

transfer is considerable. This is illustrated in Fig. 3

where data of Becker et al. [18] are plotted for the same

inlet subcooling and mass flux but at different pressures

in the range of 30–200 bar. The heat fluxes are different

but are such that dryout occurs at nearly the same axial

position in the tube. It can be seen that at low pressures,

the wall temperature rise following dryout is very large

while at high pressures, it is relatively small. It will be

shown later that the entrained droplets contribute sig-

nificantly to the post-dryout heat transfer and that

correct modelling of this is necessary for an accurate

prediction of the heat transfer.

System pressure is therefore an important fac-

tor in determining the post-dryout heat transfer
200

300

400

500

600

700

0 1 2 3 4 5 6
z (m)

Tw
al

l  
(C

)

h5368
h5374
h5379

)

erature for (a) a low mass flux of 650 kgm�2 s�1 at a heat flux of

igh mass flux of 3850 kgm�2 s�1 at a heat flux of 1298 (triangle),

numbers are given in the legend.
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Fig. 3. Effect of pressure on the axial variation of the inside

wall temperature rise in the post-dryout region: data of Becker

et al. [18] at a mass flux of 1000 kgm�2 s�1 at a system pressure

of 30 (asterisk), 70 (filled triangle), 120 (plus), 160 (diamond)

and 200 (filled circle) bar. The corresponding heat fluxes are

865, 765, 458, 356 and 300 kWm�2, respectively. The case

numbers are given in the legend.
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characteristics. High pressures reduce the dryout quality

and this also brings into question the transition to

annular flow. The mass flux also has an effect on the

dryout quality and the predictions are sensitive to the

initial entrainment fraction in some cases [4]. Finally,

empirical correlations for flow regime transition, inter-

facial friction, drop size and entrainment rate, etc. are

usually based on low pressure data and may not be

applicable to very high pressures. These issues are ad-

dressed in the present study in the context of a one-

dimensional three-fluid formulation. The details of the

framework of the calculation are presented in Section 2

while the necessary closure relations are addressed in

Section 3. Numerical details of the solution scheme are

briefly reviewed in Section 4. The results obtained for

dryout and post-dryout heat transfer in the pressure

range of 30–200 bar are discussed in Section 5.
2. Outline of the one-dimensional three-fluid model

The present three-fluid calculation scheme is based

on an extension of the two-fluid model of the CAT-

HARE code [22] and is part of the CEA-EDF NEP-

TUNE code project. Three sets of one-dimensional

mass, momentum and energy conservation equations are

solved for the three fluids, namely, gas or vapour (v),

continuous liquid flowing in the form of a film (lc) and

dispersed liquid flowing in the form of entrained drop-

lets (ld). This allows for different liquid velocities and

temperatures for the two liquid fields. No restrictive

hypothesis has been made about the droplet tempera-
ture, which is obtained from its own energy balance

equation. Thus, the model features nine independent

balance equations. The corresponding main variables

are the three phasic velocities Vv, Vlc, Vld, the three pha-
sic enthalpies Hg, Hlc, Hld, one common pressure P
and two volume fractions av, ald for gas and liquid
droplets.

Using the notation given in the nomenclature section,

the mass balance equations for the three fields can be

written as follows:

Continuous liquid field

o

ot
ðAalcqlcÞ þ

o

oz
ðAalcqlcVlcÞ ¼ þAðCd � Ce � ClcvÞ ð1Þ

Dispersed liquid field

o

ot
ðAaldqldÞ þ

o

oz
ðAaldqldVldÞ ¼ �AðCd � Ce þ CldvÞ ð2Þ

Gas field

o

ot
ðAavqvÞ þ

o

oz
ðAavqvVvÞ ¼ þAðClcv þ CldvÞ ð3Þ

The momentum balance equations are written as:

Gas phase

Aavqv
oVv
ot

�
þ Vv

oVv
oz

�
þ Aav

oP
oz

� Apilcv
oalc
oz

� Apildv
oald
oz

þ Abavalcqm
oVv
ot

�
� oVlc

ot
þ Vv

oVv
oz

� Vlc
oVlc
oz

�

¼ AClcvðWicv � VvÞ þ ACldvðWidv � VvÞ � Aðsicv þ sidvÞ

� vfCv
qv
2
VvjVvj þ Aavqvgz þ

Ralc
4

pilcv
oA
oz

ð4Þ

with qm ¼ avqv þ alcqlc
Continuous liquid field

Aalcqlc
oVlc
ot

�
þ Vlc

oVlc
oz

�
þ Aalc

oP
oz

þ Apilcv
oalc
oz

� Abavalcqm
oVv
ot

�
� oVlc

ot
þ Vv

oVv
oz

� Vlc
oVlc
oz

�

¼ �AClcvðWicv � VlcÞ þ ACdðVld � VlcÞ þ Asicv

� vfCl
qlc
2
VlcjVlcj þ Aalcqlcgz � R

ag

4
pilcv

oA
oz

ð5Þ

Dispersed liquid field

Aaldqld
oVld
ot

�
þ Vld

oVld
oz

�
þ Aald

oP
oz

þ Apildv
oald
oz

¼ �ACldvðWidv � VldÞ þ ACeðVlc � VldÞ þ Asidv

þ Aaldqldgz ð6Þ

The energy balance equations for the three phases

can be written as:
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Gas phase

A
o

ot
avqv Hv

��
þ V 2v
2

��
þ o

oz
AavqvVv Hv

��
þ V 2v
2

��

� Aav
oP
ot

¼ Aðqvic þ qvidÞ þ vcqwv þ AClcv Hv

�
þ W 2

icv

2

�

þ ACldv Hv

�
þ W 2

idv

2

�
þ AavqvVvgz ð7Þ

Continuous liquid field

A
o

ot
alcqlc Hlc

��
þ V 2lc
2

��
þ o

oz
AalcqlcVlc Hlc

��
þ V 2lc
2

��

� Aalc
oP
ot

¼ Aqlci þ vcqwlc � AClcv Hlc

�
þ W 2

icv

2

�

þ ACd Hld

�
þ V 2ld
2

�
� ACe Hlc

�
þ V 2lc
2

�
þ AalcqlcVlcgz

ð8Þ

Dispersed liquid field

A
o

ot
aldqld Hld

��
þ V 2ld
2

��
þ o

oz
AaldqldVld Hld

��
þ V 2ld
2

��

� Aald
oP
ot

¼ Aqldi þ vcqwld � ACldv Hld

�
þ W 2

idv

2

�

� ACd Hld

�
þ V 2ld
2

�
þ ACe Hlc

�
þ V 2lc
2

�
þ AaldqldVldgz

ð9Þ

Mass transfer terms Clcv and Cldv represent boiling/con-
densation and are positive for boiling and negative for

condensation. Mass transfer terms Ce and Cd represent
liquid droplet entrainment and deposition to (or from)

the continuous liquid. Heat fluxes containing i in the

subscript are fluxes between a field and its interface in

front of another field (for example qldi means flux be-
tween liquid droplet and interface with vapour), while

fluxes with a subscript w means wall to field (qwlc means
heat flux between wall and continuous liquid).

The terms containing the parameter R in Eqs. (4) and
(5) account for stratification effects in horizontal flow; in

the present case of vertical annular flow, R is set to zero.
The above set of nine conservation equations differs

from the set of seven equations used by Hoyer [6] but is

essentially the same to that used by Sugawara [9]. The

constitutive laws for the various terms in the equations

are, however, different, as will be seen below. The

present formulation allows for the solution of the

velocities directly while that of Sugawara solves for

momentum as the solution variable.
3. Closure relations

A number of closure relations are required to eval-

uate many of the right hand side terms in the above set

of equations. These represent interphase exchange,

wall-phase exchange etc. These are usually flow regime-

specific and those of specific interest to the present

study are discussed here. For the full set of closure

relations, the reader is referred to Valette and Jayanti

[8].
3.1. Closure relations in the mass balance equations

The mass transfer terms appearing in the right hand

side of the mass balance equations contain terms dealing

with phase change (Clcv and Cldv) and those related to the
hydrodynamic processes of entrainment and redeposi-

tion, Ce and Cd, respectively. The first two are obtained
from heat balance at the liquid–steam interface. The

mass transfer per unit volume due to phase change be-

tween the phases is given by

Mass transfer between continuous liquid and gas: Clcv

Clcv ¼
qwicvc=A� qlci � qvic

Hv � Hlc
ð10Þ

Mass transfer between dispersed liquid and gas: Cldv

Cldv ¼
qwidvc=A� qldi � qvid

Hv � Hld
ð11Þ

The evaluation of the various heat fluxes appearing in

Eqs. (10) and (11) is discussed in Section 3.3 below.

The droplet entrainment flux, Ce, appearing in Eqs.
(1) and (2) is modelled as a sum of the contributions

from two processes, namely, entrainment arising from

the shearing action of gas flowing over a wavy surface,

Ceh, and creation of droplets in the process of nucleate
boiling due to break-up of bubbles, Ceb. The first of
these, Ceh, is evaluated using the empirical correlation of
Hewitt and Govan [4]:

Ceh ¼ 5:75	 10�5
4

Dh
qvVv ðalcqlcVlc

�
� _mlfcÞ2

Dhq1
rq2v

�0:316

when alcqlcVlc P _mlfc ð12Þ

and Ceh ¼ 0 when alcqlcVlc6 _mlfc. Here, _mlfc is the mini-
mum film flow rate necessary for entrainment and is

given by

_mlfc ¼
ll
Dh
exp 5:8504

�
þ 0:4249 lv

ll

ffiffiffiffiffi
ql
qv

r �
: ð13Þ

For the second source of entrainment associated with

boiling, Ceb, Hoyer [6] used a dimensional correlation
developed by Milashenko et al. [23] applicable in the

pressure range of 50–100 bar for a specific tube diame-

ter. In the present study, this term is modelled using the
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dimensionless correlation proposed by Ueda et al. [24]

using data from water, R-11 and R-113 systems:

Ceb ¼ 4:77	 102C2:5lcv
alcDh
4rqv

� �0:75
when Clcv P 0 ð14Þ

and Ceb ¼ 0 when Clcv6 0.
The droplet deposition flux, Cd, is evaluated based on

the turbulent diffusion model of Hewitt and Govan [4].

An additional term, based on Hoyer [6], is used to ac-

count for the inhibition of droplet deposition by the

steam flux caused by evaporation. Thus, the net depo-

sition flux per unit volume, Cd, is evaluated as

Cd ¼
4

Dh
qld

ald
ald þ av

maxðkd � kq; 0Þ ð15Þ

where

kd ¼ 0:18153
qvDh

r

� ��1=2

if
aldqld

ðald þ avÞqv
6 0:3

kd ¼ 0:083
qvDh

r

� ��1=2 aldqld
ðald þ avÞ

� ��0:65

if
aldqld

ðald þ avÞqv
P 0:3

kq ¼
Clcv

0:065qlc

Dh
4

1ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
ald þ av

p

3.2. Closure relations for terms in the momentum balance

equations

Closure relations are required to deal with momen-

tum exchange due to the wall-phase interaction and due

to inter-phase interaction. Of the latter, momentum ex-

change terms associated with mass transfer are already

included in the momentum balance equations and do

not require further modelling. In the present model, any

momentum exchange resulting from friction between the

wall and the dispersed phase due to bouncing etc. is

neglected and hence the corresponding term is set to

zero. For the other two phases, the coefficient Ck
appearing in the respective momentum equations is

evaluated as

Ck ¼Max
16

Rek
;
0:079

Re0:25k

; 0:005

	 


with Rek ¼
akqkjVkjDh

lk
ð16Þ

If the wall is wetted by a liquid film, then the wall–gas

momentum exchange is zero. It is found that wall–liquid

film interaction does not contribute much to the pressure

gradient in annular flow and it has even smaller influ-

ence on the dryout and post-dryout heat transfer. Hence

the above simple modelling is thought to be sufficient.
The friction-related interfacial momentum exchange

involves three terms: the liquid droplet–liquid film ex-

change, the liquid film–gas exchange and the liquid

droplet–gas exchange. The first one is neglected while

the last one is dealt with using a classical formulation of

droplet drag in a gas flow with a constant drag coeffi-

cient, Cd, of 0.5. For vanishingly small liquid droplet
volume fraction, a multiplicative function, k1ðaldÞ, is
used to make the interfacial drag very large so that the

droplets move with the velocity of the gas. Thus, the

gas–droplet interfacial shear stress is given by

sidv ¼
1

2

6ald
d

CdqvjVv � VldjðVv � VldÞk1ðaldÞ ð17Þ

where d is the droplet diameter.
The interfacial friction between the continuous liquid

phase and the gas phase is strongly flow regime-depen-

dent. For annular flow conditions, a number of corre-

lations exist to calculate the interfacial friction factor.

Most of these are obtained from air–water data at near-

atmospheric pressures. Extension of these, for example,

that of Asali et al. [25], to typical high pressure annular

flow conditions is found to result in over-prediction of

the order of 100%. The use of the simple correlation of

Wallis [26] is found to overpredict the adiabatic annular

flow data of Wurtz [17] by about 35%. Keeping in mind

that the phasic Reynolds numbers and the liquid film

phase fraction under typical high pressure conditions

can be very different from those for low pressure air–

water systems, a purely geometric relation, based on the

single-phase flow through fully-rough pipes (thus there

being no influence of gas phase Reynolds number on the

friction factor) is used to evaluate the interfacial friction

factor:

fi ¼
0:331

ln ks
3:71Dh

� �h i2 ð18aÞ

where

ks
Dh

¼ 2:25a1:7lc ð18bÞ

It should be noted that Eq. (18a) does not introduce any

new constants as it can be derived from the Colebrook–

White formula for single-phase flow through fully-rough

pipes. Eq. (18b) for the equivalent sand grain roughness

of a flowing liquid film however is an empirical fit ob-

tained to give good prediction of the pressure gradient

for the data of Wurtz [17] as discussed below. The

interfacial shear stress between the gas and the liquid

film is evaluated as

sicv ¼
4

Dh
1

�
� alc
2

�
fiqvjVv � VlcjðVv � VlcÞ ð19Þ
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It remains to specify the interfacial velocities between

the gas and the liquid phases. The interface between the

gas and the liquid droplets is supposed to be moving at

velocity of the droplet. Hence, Widv is set to be equal to
Vld. In the case of the interface between the gas and the
continuous liquid, the relation for the two-fluid model

used in CATHARE [22] is adapted as:

Wicv ¼
av

av þ alc
Vlc þ

alc
av þ alc

Vv ð20Þ
3.3. Closure relations for terms in the energy balance

equations

It is necessary to specify the calculation scheme for

the various heat fluxes appearing in the energy balance

equations. These can be grouped under two categories:

heat transfer involving the wall and interfacial heat

transfers. It is assumed that the liquid droplets are not

directly heated or cooled by the wall. Thus, qwld and qwid
are set to zero. The heat transfer between the wall and

the continuous liquid or the gas phase is modelled as

being due to forced convection:

qwk ¼
kk
Dh

Nuk;convðTw � TkÞ ð21Þ

where k refers to g or lc and the Nusselt number is
obtained from the Dittus–Boelter equation. The flow is

assumed to be turbulent, and the formulation obtained

in tube geometry is applied also in more complex

geometries such as rod bundles, using hydraulic diame-

ter as a characteristic length instead of tube diameter:

Nuk;conv ¼ 0:023Re0:8k Pr0:4k where Rek ¼
jVkjDh

mk

Following the practice in CATHARE [22], two cases are

distinguished for the heat transfer between wall and

continuous liquid interface, qwic. When Tw P TsatðP Þ, a
nucleate boiling mode is assumed and the Thom corre-

lation [2] is used to calculate the heat flux. When

Tw6 Tlc6 TsatðP Þ, heat transfer is assumed to occur by
film condensation. A rough value of 2000 Wm�2 K�1

for film condensation heat transfer coefficient is used

to calculate the heat flux. In all the other cases, qwic is
set to zero. Details can be found in Valette and Jayanti

[8].

The heat flux between the gas and the interface of the

dispersed liquid is evaluated using a convection law for

flow around spheres [27]:

qvid ¼
6ald
d

Nuconv
kv
d
ðTsat � TvÞ ð22Þ

where

Nuconv ¼ 2þ 0:6Re0:5v Pr1=3v Rev ¼
qvjVv � Vldjd

l
v
The heat flux between gas and the interface of con-

tinuous liquid is modelled using the forced convection

approach:

qvic ¼ qvic;evap ¼
1

pDh

kvNuevap
Dh

ðTsatðPvÞ � TvÞ ð23Þ

where

Nuevap ¼ 0:023Re0:8v Pr0:4v with Rev ¼
qvjVvjDh

lv
:

Finally, the heat flux between the dispersed liquid

and its interface (qldi) and that between the continuous
liquid and its interface (qlci) are evaluated using a

flashing or condensation formulation depending on

whether the phasic temperature Tk is greater or less than
saturation temperatures. This formulation allows the

liquid phase temperatures to be close to the saturated

conditions while allowing deviation from it, if necessary.

This is not very relevant to the present study and full

details can be found in Valette and Jayanti [8].

3.4. Other closure laws

Apart from the above relations, it is necessary to

specify other empirical laws to completely determine the

nature of the flow. These are discussed here.

The first of these concerns the transition to annular

flow regime. Although annular flow has been studied

and modelled extensively, it is one of least well-defined

in terms of transition to annular flow. Often, purely

empirical criteria are adopted to describe it in numerical

calculations. Hewitt and Govan [4] used a quality of 0.01

to start their annular flow calculations. Sugawara [5]

used a dimensional fit to the Baker’s flow pattern map

[28] to determine the transition. Hoyer [6] used a gen-

eralized minimum slip or maximum void fraction crite-

rion to determine the transition between separated flows

and dispersed flows. In terms of mechanistic modelling,

there are generally two schools of thought [2] regarding

this transition in vertical flow: that the superficial gas

velocity should be higher than that required for flow

reversal, expressed as

U �
v ¼ Vv

qv
ðqlc � qvÞgDh

� �0:5
> 1 ð24Þ

or that it should be high enough to suspend entrained

droplets, which is often expressed as a Kutateladze

number limitation

Kuv ¼ avVv
q2v

½grðql � qvÞ�

� �1
4

> 3:2 ð25Þ

Both these criteria give nearly the same transition gas

velocities at low pressures for typical tube diameters
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used in dryout experiments. It is found that at high

pressures, they predict very low transitional velocities to

such an extent that implementation of these criteria

would have resulted in annular flow at gas phase volu-

metric fraction of 0.1! On the other hand, imposition of

a minimum ‘‘reasonable’’ gas phase volumetric fraction

of 0.7 would delay the transition to annular flow so

much that dryout could never be predicted accurately.

This situation is illustrated in Fig. 4. In Fig. 4a, the

predicted variation of gas fraction with quality is plotted

at different pressures in the range of 30–200 bar for

steam–water system while in Fig. 4b, the predicted

quality at which a gas volume fraction of 0.7 is reached

is plotted as a function of system pressure for typical

flow conditions used in Becker et al. [18]. (These pre-

dictions are obtained from the models described above

and are found to be relatively sensitive to the closure

relations.) At low pressures, av of 0.7 is reached at
qualities of less than 0.1; however, at a higher pressure

of 100 bar, this limit is reached at a quality of 0.25; and

at 200 bar, the quality has to be 0.5 before the void

fraction reaches 0.7. If the annular flow transition is

pegged at a minimum gas fraction of 0.7, dryout can

occur only after a quality of 0.5 at a pressure of 200 bar.

However, the dryout quality is significantly less, of order

of 0.2–0.3, in many of Becker et al.’s experiments. The

corresponding gas fraction, at dryout, would be in the

range of 0.4–0.5. This brings into question the tradi-

tional conception, based on low pressure experiments, of

annular flow as a high voidage core surrounded by a

thin film of liquid.

Coming back to the question of annular flow tran-

sition, a mechanistic criterion is desirable. It is found

that a constraint based only on U �
v or Kuv would be not

sufficient as it may result in different void fractions at

different mass flow rates. Given the relative insensitivity

of the gas fraction vs quality curve to the mass flux, the
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Fig. 4. (a) Calculated variation of gas volume fraction with quality

quality at which the gas volume fraction reaches 0.70 plotted as a fu
following criterion is used to determine the onset of

annular flow:

Kuv > 3:2 and x > 0:1 ð26Þ

The limit of x > 0:1 may delay the onset of annular flow
at low pressures; however, this would not affect the

predictions of dryout and post-dryout heat transfer as

dryout rarely occurs at such low qualities at low pres-

sures. It is noted that the constant quality limit for the

transition is in good agreement with the experimental

results of Bergles et al. [29] for steam–water flow at a

pressure of 69 bar. Reasonable agreement for high

pressure dryout data in the range of 30 to 200 bar has

been obtained with this criterion, as shown later.

The initial entrainment fraction is said to be a

parameter of the calculation and Hewitt and Govan [4]

showed that their results were sensitive to this parameter

at high mass fluxes. In order to be consistent with the all-

regime capability of the present model, the droplet

volume fraction is set to a minimum value of 10�6 in all

pre-annular flow cases where droplet field may not be

present. Thus, the entrained fraction of liquid at the

onset of annular flow is close to zero in all the cases

considered here. Some test calculations for adiabatic

flows have shown that the outlet conditions are not

sensitive to the inlet entrainment fraction as the hydro-

dynamic equilibrium between entrainment and redepo-

sition is reached fairly quickly. This may be an

important parameter, especially at low liquid flow rates,

if the flow at the inlet is two-phase and the zone of

interest is close to the inlet.

The droplet diameter is an important parameter in

determining, for example, the post-dryout heat transfer.

Possible factors which influence the droplet size in

annular flow have been reviewed recently by Azzopardi

[11]. Several correlations, in the form of a critical Weber

number criterion, exist in the literature; however these
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have been based principally on low pressure data of

mostly air–water flows. Extension of these to typical

high pressure dryout conditions results in drop sizes of

the order 300–1000 lm, which is far above the typical
size range of 30–200 lm in annular flow [11]. There

appears, also, to be a droplet mass flux dependence on

the drop size due to coalescence and Azzopardi [30]

proposed a correlation for the Sauter mean diameter to

take into account the droplet flux. This correlation,

which is based on low pressure and low mass flux data, is

found to give too large a size of droplets for some of the

high mass flux cases of Bennett et al. [31]. In view of this,

it is modified and approximated as follows to give better

prediction of post-dryout heat transfer for the full range

of mass fluxes in the experiments of Bennett et al. [31]:

d
‘
¼ ð2:5We�0:58 þ 0:1a0:25ld Þ ð27Þ

Here ‘ is the Laplace length and the Weber number is
defined based on the Laplace length:

‘ ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

r
gðqld � qvÞ

r
We ¼ qvV

2
v ‘=r

It is found that the above correlation gave typical drop

sizes of about 50 lm which is reasonable. The effect

of this on the post-dryout heat transfer is illustrated in

Fig. 5 for a specific case (Case no. 5335) of the data of

Bennett et al. [31]. Here, the measured inside wall tem-

perature data are compared with predictions using a

drop size evaluation based on a critical Weber number

criterion and as evaluated by Eq. (27). All the other

aspects of the calculation are the same. It can be seen

that greatly improved prediction is obtained by Eq. (27)

while the prediction based on a critical Weber number

predicts too high wall temperatures in the post-dryout

region.
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Fig. 5. Comparison with the data of Bennett et al. [31] for the

case number 5335 of the predicted variation of the inside wall

temperature using a droplet size correlation given by Eq. (27)

(thick line) and that given by a critical Weber number of eight

(thin line).
4. Numerical details

The above modelling has been used to predict adia-

batic and diabatic flows with and without dryout in the

pressure range of 30–200 bar. A brief description of the

numerical solution procedure is in order before the re-

sults are presented. The set of conservation equations

and closure relations is discretized using a finite differ-

ence scheme with staggered spatial mesh and the donor-

cell method. A fully implicit scheme is used to deal with

the temporal derivatives in which the terms dealing with

interphase exchange, pressure propagation and convec-

tion are evaluated implicitly. This removes any Courant

number limitation on the time step. The solution of the

non-linear equations is carried out using the Newton–

Raphson iterative method in which the Jacobian is re-

evaluated at each iteration. Analytical derivatives for

each equation and each closure relation are used sys-

tematically to evaluate the Jacobian. While there is no

Courant number limitation on the time step, the non-

linearity of the equations may cause convergence diffi-

culties in case of large transients or at points of

discontinuity in the constitutive models. An automatic

scheme for the time step management is used to adjust

the time step dynamically. Further details of the

numerical algorithm are given by Barr�e et al. [32].
The calculations are carried out in a transient mode.

Typically, the initial condition corresponds to subcooled

liquid flowing through the tube at the given pressure and

flow rate. Over a period of 10 s, the heat flux is linearly

increased from zero to the final steady state value im-

posed in the experiments and all the boundary condi-

tions are kept constant from that point onwards. The

flow conditions and wall temperatures reach steady

values, typically, in several seconds. Exploratory calcu-

lations were made for 30, 50 and 100 s to ensure that a

steady state was reached and all subsequent calculations

were carried out for 50 s. Typically, one calculation with

30 nodes took 1–2 min on a single CPU of the HP 9000/

800 computer.
5. Results

The set of equations presented in Sections 2 and 3

constitutes the overall model used for the prediction of

dryout and post-dryout heat transfer. The conservation

equations are well-known and many of the closure

relations have already been well-established for low

pressure systems. Three parameters have been princi-

pally altered in the present study to make the model

applicable to high pressure systems. These are (i) the

equivalent sand grain roughness relation given in Eq.

(18b); (ii) the additional constraint of quality for annular

flow transition as in Eq. (26); and (iii) the modified drop

size correlation given by Eq. (27). Some of the data cited



Table 1

Range of data used in the present study for predictions

Source Range of pressure

(bar)

Range of mass flux

(kgm�2 s�1)

Tube inner

diameter (mm)

Parameters

compared

Number of points

used

Wurtz [17] 30–90 500–3000 10, 20 Pressure gradient,

entrained fraction

74

Wurtz [17] 30–90 500–3000 10 Dryout quality 32

Bennett et al. [31] 70 350–5100 12.6 Dryout quality,

post-dryout wall

temperature

31

Becker et al. [18] 30–200 500–3000 10, 14.9, 24.7 Dryout quality,

post-dryout wall

temperature

88
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below have been used to determine these relations and

hence the results shown below cannot be treated as

independent validation. The purpose however is to

demonstrate that, with the above modelling, satisfactory

predictions can be obtained over a wide range of systems

pressures, mass flow rates and tube diameters.

The data set used for model validation is summarized

in Table 1. It consists of adiabatic and diabatic results of

Wurtz [17] in the pressure range of 30–90 bar in tubes of

two diameters; systematic and coherent data of Bennett

et al. [31] for dryout and post-dryout heat transfer in a

single tube at a nominal pressure of 70 bar; and a large

amount of dryout and post-dryout data from Becker

et al. [18] covering systematically a wide range of pres-

sures and mass flow rates in three tubes. Not all the

available data is used in the validation; however, the

data (or runs) for calculations have been selected in such

a way as to cover the entire range of flow rates, heat

fluxes and pressures contained in each data set. The re-

sults from these calculations are discussed below.

5.1. Data of Wurtz (1978)

The adiabatic data of Wurtz [17] were obtained in

tubes of 10 and 20 mm inner diameter. The tests in the
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Fig. 6. Comparison with the adiabatic data of Wurtz [17] of (a) pressur

30–90 bar.
10 mm diameter tube covered the pressure range of 30–

90 bar while those in the 20 mm tube were carried out

only at 70 bar. In both cases, the mass fluxes varied from

500–3000 kgm�2 s�1 with qualities up to 0.6. The com-

parison between the predicted and the measured total

pressure gradient and entrained mass flux for about 70

runs are shown in Fig. 6a and b, respectively. It can be

seen that the pressure gradient is predicted well. Wurtz

[17] estimated that most of the pressure gradient in these

cases was the frictional component and this was found

to be the case in the present study. The entrained mass

fluxes shown in Fig. 6b show a larger scatter, but except

for a few cases, all are reasonably well-predicted. The

present calculations confirm the observation of Hoyer

[6] that the dryout prediction is not very sensitive to the

interfacial friction; the predicted entrained mass flux is

found to be relatively insensitive to the closure relation

for interfacial friction. Since the data considered here are

adiabatic data, these tests verify the hydrodynamic

component of entrainment and redeposition. The con-

tribution of nucleate boiling component to both these

important processes is not reflected either in the exper-

iments or in the calculations as in both a sufficiently long

tube (>400 tube diameters) is available for hydro-

dynamic equilibrium to be achieved.
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The predictions of about 30 runs of the burnout

experiments of Wurtz [17] in the 10 mm tube diameter

are shown in Fig. 7. These cover the pressure range of

30–90 bar and the mass flux range of 500–3000

kgm�2 s�1. It can be seen that good agreement is once

again obtained between the predictions and the experi-

ments over the entire range of quality. No apparent

pressure effect can be seen in the accuracy of the pre-

dictions.

5.2. Data of Bennett et al. (1967)

Bennett et al. [31] conducted systematic dryout and

post-dryout experiments in a tube of 12.6 mm internal

diameter using Inconel as material for the tube so as to

avoid the temperature dependence of electrical resistivity

exhibited by stainless steel. Although the experiments

were conducted at a single pressure of 70 bar, the mass

flux was varied in the wide range of 350–5000 kgm�2 s�1.

The effect of heat flux was also studied systematically at

each flow rate by taking wall temperature measurements

at several increments of heat fluxes. The dryout data

therefore reflect well the non-equilibrium effects associ-

ated with developing flow in a heated tube. Comparison

of the predicted and the experimental dryout quality

(Fig. 8) shows excellent agreement between the two.

This shows that heat flux effects on the net entrain-

ment flux are well-captured in the correlations and

provide an indirect validation of these aspects of the

correlations.

The post-dryout heat transfer predictions also show

good agreement with the data and exhibit the correct

trends. This is illustrated in Fig. 9 where the measured

wall temperatures for mass fluxes of 350, 650, 1000,

2000, 3800 and 5100 are compared with the data. It can

be seen that excellent agreement is there between the two
for all the cases. The extent of temperature rise and the

further evolution of the inside wall temperature and the

variation of these with mass flux are captured quite well.

It is noted here that a drop size correlation based on a

critical Weber number of eight would have not cap-

tured all these effects accurately, the deviation in many

cases being more like that shown in Fig. 5. These

calculations serve therefore to especially validate the

drop size correlation developed as part of the present

study.
5.3. Data of Becker et al. (Ref. [18])

These data cover dryout and post-dryout heat

transfer in the range of 30–200 bar of pressure and 500–

3000 kgm�2 s�1 of mass flux in tubes of 10 and 14.9 mm

internal diameter. Additional data from a tube of 24.7

mm internal diameter were reported in the pressure

range of 150 and 200 bar and in the mass flux range of

800–2400 kgm�2 s�1. The outside wall temperature was

measured in a stainless steel tube and the inside wall

temperature was deduced from the known heat flux. The

inlet subcooling was kept at 10 �C in most of the cases
and at 5 �C in the rest of the cases. The comparison

between the predicted and the measured dryout quality

is shown in Fig. 10 where the data are sorted according

to pressure (Fig. 10a), mass flux (Fig. 10b) and tube

diameter (Fig. 10c). It can be seen that although there is

a large scatter, the predictions are quite satisfactory

given that the predictions go right up to a relative

pressure, P=Pcr, of 0.9. Unlike in the case of Bennett
et al. [31], the experimental data of Becker et al. [18]

themselves exhibit considerable scatter in the sense that

non-monotonic effect of heat flux on dryout quality is
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Fig. 9. Comparison of the predicted inside wall temperature with the data of Bennett et al. [31] at 70 bar for a mass flux of (a) 380, (b)

650, (c) 1020, (d) 1950, (e) 3800 and (f) 5180 kgm�2 s�1. The corresponding heat fluxes are 512, 850, 921, 918, 1704 and 1837 kWm�2.
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observed in a number of cases. For example, an increase

in heat flux in some cases would have no effect on the

dryout quality, a large effect in some cases and a

non-monotonic effect in some other cases. Close study of

these trends showed these not to be a systematic effect of

pressure. The categorized data shown in Fig. 10a–c show

that the accuracy of prediction is rather insensitive to the

tube diameter (in the range of 10 mm to 25 mm). There

appears to be an overprediction of dryout quality for

some cases of low mass flux (500 and 1000 kgm�2 s�1),

as indicated in Fig. 10b, in the pressure range of 100–160

bar. It has been found that the term representing boil-

ing-induced entrainment (Eq. (14)) becomes significant

under these conditions; better modelling of this term
may improve the results. It is felt that a revision of the

modelling of all the entrainment and redeposition pro-

cesses would be more appropriate given the 300-fold

change in the ratio of densities of the two phases be-

tween atmospheric pressure and 200 bar.

The predicted wall temperatures in the post-dryout

heat transfer are shown in Fig. 11. Here, the wall tem-

peratures for a constant mass flux of 1000 kgm�2 s�1

and inlet subcooling of 10 K are shown at different

pressures with the heat flux such that the dryout occurs

nearly at the same location. Comparison with Fig. 3

shows that the effect of pressure, namely, significant

reduction in the temperature jump immediately after

dryout, is well-predicted. Specific comparison with se-
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lected cases from Becker et al. [18] are shown in Figs.

12–14 at system pressures of 70, 160 and 200 bar,

respectively, for mass fluxes of 500, 1000, 2000 and 3000

kgm�2 s�1. Fairly good agreement (but not as good as

for the data of Bennett et al., see Fig. 10) is obtained at

70 bar. At higher pressures, the trend with mass flux and
pressure are predicted well but there is a significant

overprediction of the wall temperature at high pressure,

high mass flux conditions (e.g., Fig. 14a and b). This

may be due to the complicated nature of the flow under

these conditions wherein the droplet volume fraction

may be in excess of 0.2! It is possible that droplet–wall

interaction, which is neglected in the present study, has a

significant impact on the heat transfer under these con-

ditions. More study is clearly required to quantify these

effects.
6. Conclusions

A comprehensive set of closure relations is presented

in the context of a one-dimensional three-phase calcu-

lation methodology for the prediction of dryout and

post-dryout heat transfer at high pressures. New corre-

lations have been developed for the interfacial friction

factor between the liquid film and the gas phase; for the

droplet diameter and for the transition to annular flow.

Comparison with the data of Bennett et al. [31],

Wurtz [17] and Becker et al. [18] shows that fairly

accurate predictions of the dryout quality can be ob-

tained in the pressure range of 30–200 bar, mass flux

range of 500–5000 kg/m2 s and tube diameter range of

10–25 mm.
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corresponding case numbers are given in the figure.
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Fig. 13. Comparison of the predicted temperature variation

with the data of Becker et al. [18] at a pressure of 160 bar

at mass fluxes of (a) 3000, (b) 2000, (c), 1000 and (d) 500

kgm�2 s�1. The corresponding case numbers are given in the

figure.
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Good agreement for the post-dryout heat transfer is

obtained with the data of Bennett et al. [31] at 70 bar

over the entire range of mass fluxes. The wall tempera-

ture in the post-dryout condition is overpredicted under

some conditions (combination of high pressure and high

mass flux) of Becker et al. [18]. This may be due to ne-

glect of wall–droplet field interaction.

The present calculations indicate that at high pres-

sures, i.e., for relative pressure, P=Pcr > 0:5, annular
flow-type conditions may prevail even for gas phase

volume fractions <0.5 and the droplet phase volume
fractions may be very high, of the order of 0.2 or higher.

This is very different from the traditional picture of

annular flow having a very thin liquid film (alc < 0:02 in
most air–water data) and a high-voidage (av > 0:9) core.
The mechanism of boiling-induced entrainment, rather

than the traditional route of gas-shear induced hydro-

dynamic entrainment, appears to dominate the entrain-

ment process under these conditions. Experimental

verification of these trends would be very useful to fur-

ther validate the present modelling.
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Fig. 14. Comparison of the predicted temperature variation

with the data of Becker et al. [18] at a pressure of 200 bar at

mass fluxes of (a) 3000, (b) 2000, (c), 1000 and (d) 500

kgm�2 s�1. The corresponding case numbers are given in the

figure.
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